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Abstract

The mechanistic model, which considers the mechanical and thermal non-equilibrium, is described for two-phase
choking flow. The choking mass flux is obtained from the momentum equation with the definition of choking. The
key parameter for the mechanical non-equilibrium is a slip ratio. The dependent parameters for the slip ratio are iden-
tified. In this research, the slip ratio which is defined in the drift flux model is used to identify the impact parameters on
the slip ratio. Because the slip ratio in the drift flux model is related to the distribution parameter and drift velocity, the
adequate correlations depending on the flow regime are introduced in this study. For the thermal non-equilibrium, the
model is developed with bubble conduction time and Bernoulli choking model. In case of highly subcooled water com-
pared to the inlet pressure, the Bernoulli choking model using the pressure undershoot is used because there is no bub-
ble generation in the test section. When the phase change happens inside the test section, two-phase choking model with
relaxation time calculates the choking mass flux. According to the comparison of model prediction with experimental
data shows good agreement. The developed model shows good prediction in both low and high pressure ranges.
� 2005 Published by Elsevier Ltd.
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1. Introduction

The choking flow is the phenomenon which occurs in
very wide range of engineering industry. This phenome-
non is the most important in the nuclear power plant
which is cooled by the water. In the loss of coolant acci-
dent (LOCA) situation, the choking flow determined the
water inventory of the reactor vessel, and the integrity of
core eventually depends upon the choking flow [1].
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Therefore, the analytical description and prediction of
choking flow rate plays an important role in the design
of the engineered safeguards in the nuclear power plant.
The serious study for two-phase flow started from 1892
by Sauvage [2]. Rateau [3] showed the existence of chok-
ing flow in the boiling water through the nozzle. Histor-
ically mechanical and thermal equilibrium between gas
and liquid phases were commonly assumed in the early
choking flow models. This model is called the homoge-
neous equilibrium model. However, this assumption is
valid only for some ideal conditions such as for a long
pipe where there is sufficient time for equilibrium to be
achieved and when the flow pattern gives sufficient inter-
phase forces to suppress significant relative motion.
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Nomenclature

A area
Co distribution parameter
cp specific heat
D diameter
Dd bubble departure diameter
fd bubble departure frequency
F function
g gravitational acceleration
G mass flux (kg/m2 s)
h enthalpy
J multiplier
k Boltzmann constant
L length
_m mass flow rate
P pressure
s entropy
S slip ratio
t time
T temperature
Tc critical temperature
Tr reduced temperature
V velocity
hhVgjii weighted drift velocity
V gj mean drift velocity
x quality
z axial distance

Greek symbols

a void fraction
b volumetric thermal expansion coefficient

C mass change rate
h contact angle
q density
R depressurization rate
s shear stress, relaxation time

Subscripts

c choking
char characteristic
cond conduction
down downstream
e equilibrium
f liquid
fl flashing
g vapor or gas phase
growth bubble growth
i interface
in inlet or initial
m mixture
nucl nucleation
o stagnation
s saturation
sat saturation
sub subcooling
tot total
up upstream
w wall
x–s cross-section
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2. Review of choking flow models

It is also important to understand the existing chok-
ing flow models. In this section, the choking flow models
are classified as homogeneous equilibrium, homoge-
neous non-equilibrium, non-homogeneous equilibrium,
and non-homogeneous non-equilibrium model.

2.1. Homogeneous equilibrium model

According to Starkmann�s homogeneous equilibrium
model [4], it is based on the assumptions of no slip, ther-
mal equilibrium between phases, isentropic expansion
and equation of state in the steam table. According to
this model the choking mass flux in the homogeneous
equilibrium model depends not on the break geometry
or pipe length but on the upstream thermodynamic
condition.

A feature of the homogeneous equilibrium model is
adherence of the fluid properties along the saturation
condition. In reality, the liquid can be superheated in
order to nucleate near the wall during the depressuriza-
tion process. If the single-phase liquid velocity is high
enough, the choking flow may occur at the outlet of
the pipe with the nucleation of the first bubble. If the
coolant temperature is low and nucleation is suppressed
by non-equilibrium phenomena, it might be required to
consider the transition from single-phase to two-phase
choking flow during the early stage of a blowdown in
a LOCA analysis [5]. According to the review of Abdol-
lahian et al. [6], the homogeneous equilibrium model
showed good agreement with the Marviken critical flow
data for subcooled stagnation condition and long pipe
condition (L/D > 1.5). However, in general, the homo-
geneous equilibrium model is the simplest approach
and not highly accurate for the subcooled liquid stagna-
tion state [1]. Recently, Fthenakis et al. [7] showed that
the homogeneous equilibrium model can overestimate
the choking flow rate in case that the break is large,
and that makes the rapid depressurization. However,
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according to results of Darby [8], the homogeneous
equilibrium model underestimated the choking flow rate
in short pipe. In that reference, the homogeneous equi-
librium model is applicable for the long pipe because this
model is based on the no slip velocity, whereas, there is
no sufficient time to establish the mechanical equilib-
rium in the short pipe. However, the homogeneous equi-
librium model overestimates the mixture density in case
of large break, and this results in more liquid being dis-
charged through the break. Therefore, the homogeneous
equilibrium model overestimates the choking flow rate
at the break.

As a different approach of the homogeneous equilib-
rium model, there is Omega method. The analytical
solution using this method was first proposed by Epstein
et al. [9] for the steam-water mixture, and generalized by
Leung [10] for any flashing two-phase mixture. They
introduced the approximate equation of state. The
author pointed out that the homogeneous equilibrium
model was physically unrealistic. However, the opinion
of author was that this model was valuable for under-
standing qualitative features of two-phase choking,
using in scaling law, and estimating quantitative predic-
tion [11].

2.2. Homogeneous non-equilibrium model

Thermal non-equilibrium implies that there is a tem-
perature difference between the phases. This is believed
to be one of the major causes of the discrepancy between
model predictions and experimental results, especially if
subcooled fluid enters the test section or the test section
is very short. According to the review presented by
Abdollahian et al. [6] and Saha [12], one particular type
of choking flow has escaped full understanding to date,
even though a number of theoretical and experimental
studies of choking flow have been reported. It occurs
with a subcooled upstream condition that often leads
to significant non-equilibrium thermodynamic condi-
tions at the point of choking flow. At that point the
liquid is superheated beyond the saturation temperature.
This non-equilibrium effect is generated because the two-
phase fluid depressurization speed may be faster than
the thermal exchange speed between two phases [13].

Actually, thermal non-equilibrium is related to the
bubble nucleation. This was proven by several research-
ers using a delay time for nucleation time of order of
1 ms [14,15]. Fauske [16] showed a good agreement
using the ‘‘relaxation length’’ by comparing with other
data. This ‘‘relaxation time’’ or ‘‘relaxation length’’ cor-
responds to the super heat of 2–3 �C.

Henry and Fauske [17] tried to account for the ther-
mal non-equilibrium effect by introducing an empirical
parameter, which represented the deviation from the
homogeneous equilibrium model. This model assumed
the phase separation at the entrance and neglected the
friction loss. It is directly proportional to the difference
between the exit qualities. However, Abdollahian et al.
[6] pointed out that the Henry–Fauske model in the sub-
cooled flow regime overpredicted the Marviken data.

Shrock et al. [15] developed a two-step model. Ini-
tially ‘‘frozen’’ flow (constant quality) is assumed until
the pressure drops by a certain amount below the satu-
ration pressure. At that point sudden equilibrium is
achieved, and downstream from this point, again the
frozen flow occurs. It was stated by the authors that
the model did not represent the real physical behavior,
however, they claimed that there was no satisfactory
means to predict the number and size of microbubble
in the liquid triggering the nucleation process.

Levy and Abdollahian [18] developed the simplified
homogeneous non-equilibrium flashing model. This
model assumed that water should be superheated at a
given local pressure before liquid flashed into steam
and that in downstream enough vapor would be gener-
ated to reduce the water superheat. In addition, the flow
was assumed to be homogeneous. Finally, an isentropic
process was used to calculate the non-equilibrium qual-
ity and choking flow rate. This model was compared
with the data of Reocreux [19] and Zimmer et al. [20].
For those two data sets, this model�s prediction was rea-
sonable. However, the model may not properly account
for the impact of depressurization rate upon non-equi-
librium conditions. In addition, it underpredicts small
scale tests at high pressures when a constant cross-sec-
tion length does not follow the contraction zone.

Finally, there is the frozen model as it is referred
previously. This model is the limiting case of the homo-
geneous non-equilibrium model and it is based on the
assumption of no heat and mass transfer between
phases. Lenzing et al. [21] used the homogeneous frozen
flow model by introducing the two-phase discharge coef-
ficient for the non-flashing two-component flow and
Henry and Fauske model by using the two-phase dis-
charge coefficient for the flashing one-component flow.

2.3. Non-homogeneous equilibrium model

The early model of the non-homogeneous equilib-
rium model derived by Moody [22] is an extension of
the homogeneous equilibrium model, by allowing differ-
ent vapor and liquid velocities. A slip ratio, S, defined as
the velocity ratio between the vapor and liquid, is trea-
ted as a variable which is determined by the condition
of maximum kinetic energy flux at the exit. The slip
between two phases allows the gas phase to be dis-
charged with the higher velocity than liquid phase and
this is more realistic approach than the homogeneous
flow assumption [7]. Moody model gives the local slip
ratio of S = Vg/Vf = (qf/qg)

1/3 to get a maximum two-
phase kinetic energy flow, whereas Fauske [23] obtains
the slip ratio as S = Vg/Vf = (qf/qg)

1/2 by minimizing
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the momentum flow rate. The detailed description was
shown in ANL report based on the author�s thesis [24].
Fauske emphasized the importance of the mechanical
non-equilibrium in terms of the slip. According to Fau-
ske�s thesis, the slip is generated due to the density ratio
between two phases and, therefore, light phase is easily
accelerated by means of pressure difference between
the upstream and choking section. The author also
insisted that the friction between the phases and droplet
caused by the liquid entrainment reduces the relative
velocity between two phases. However, Fauske insisted
that the slip is independent of the quality using other
results [25]. According to their experimental results,
the effect of slip ratio decreased with pressure increase.
According to Fauske, the superficial velocity in choking
condition is much high, therefore, it is reasonable that
the slip ratio does not affected by the quality.

However, the weak point of these models is that they
are derived based on the ideal flow patterns, annular or
separated flow. Furthermore, they are based on the
energy or momentum maximization or minimization
assumption which has no theoretical bases and the slip
ratio is not independent of the quality. Cruver and
Moulton [26] pointed out the problem in the assump-
tions of Fauske�s theorem. In the Fauske�s thesis, the
author assumed that the pressure gradient at the chok-
ing point is a finite maximum. However, according to
Cruver and Moulton�s opinion, ovm/oS is a minimum,
not a maximum because o2vm/oS

2 = 2x(1 � x)vg/S
3 is

always positive. Therefore, they insist that the finite
maximum for dP/dz does not exist.

2.4. Non-homogeneous non-equilibrium model

In the two-fluid model, it is possible to consider the
mechanical non-equilibrium and the thermal non-equi-
librium simultaneously through proper constitutive rela-
tions for interfacial transfer rates.

In this approach, a separate set of conservation equa-
tions is used for each phase as shown by Bouré [27] and
Ishii [28]. Therefore, these equations have to contain
terms describing mass, momentum and heat transfer
between the phases. These constitutive relations are
not very accurate in the present state-of the art, particu-
larly under the choking flow conditions where very large
convective acceleration and depressurization take place.
Thus simplification of the above equations and often
quite arbitrary assumptions are introduced to overcome
the lack of knowledge. The separate flow model is easy
to visualize the mechanical non-equilibrium and thermal
non-equilibrium between phases, however, the actual
geometry of the interface can be quite different from this
flow due to wall nucleation and flashing.

The typical existing interfacial exchange models were
described by Trapp and Ransom [29]. Possible weakness
of their model involves the modeling of non-equilibrium
mass and heat transfer terms, thermal resistance to heat
flux, virtual mass coefficient, and the use of derivatives
of the equations of state in thermal equilibrium. This
implies that the interfacial momentum and energy in
highly non-equilibrium flow may not be accurately mod-
eled by the conventional models in the code, particularly
due to the significant nucleation at the wall which is dif-
ficult to predict.

Richter [30] developed the separated flow model to
calculate the choking flow rate for the steam-water mix-
ture. Generally, the separate flow model requires several
correlations for the unknown parameters. However, it
deals both mechanical and thermal non-equilibrium in
one approach. This model was considered with the
assumptions of steady state, one dimensional, and
non-homogeneous flow. Additionally, it was assumed
that heat transfer between phases limited mass transfer.

According to Richter�s results, the slip ratio in the
bubbly flow regime was about unity and it was reason-
able to assume this as many authors assumed. However,
the author insisted that if the evaporation in expanding
bubbly flow was limited by heat transfer, the small
velocity difference played an important role in the heat
transfer mechanism. For the churn-turbulent flow
regime, the author concluded that the thermal non-equi-
librium was negligible and the mechanical no-equilib-
rium was dominant in this flow regime. Although the
result was very interesting, his results depended on the
chosen correlation when this model was solved, and it
was questionable whether it might be applicable to the
low pressure.
3. Modeling description

The main objective of this research is to develop the
mechanistic choking model which considers the mechan-
ical and thermal non-equilibrium. In the view of the
liquid and gas velocity, it is homogeneous flow if both
velocities are same. As the non-homogeneous flow, there
are two types of non-homogeneous flow, mechanical
equilibrium flow and mechanical non-equilibrium flow.
Even though both velocities are different, if the relative
velocity (Vg � Vf) is steady state, it is the mechanical
equilibrium flow. Mechanical non-equilibrium flow is
important in the inertia dominant flow. In the nozzle
geometry, the pressure drop is mainly caused by the
acceleration of each phase. In addition, near the choking
point, acceleration rates of each phase, DVf/Dt and
DVg/Dt, are different. Therefore, the modeling for
mechanical non-equilibrium in the choking flow is very
important. In the view of the temperature of each phase,
it is called thermal equilibrium if the temperatures of
each phase are same. In the rapid depressurization con-
dition which causes flashing, thermal non-equilibrium is
present. For example, rapid depressurization of a liquid
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system may drop the pressure well below the saturation
value corresponding to the temperature of the liquid. In
this situation, the liquid tends to remain at the initial
temperature, whereas the vapor follows the saturation
temperature. Consequently there is departure from the
thermal equilibrium. Similarly, a subcooled discharge
through a break or an orifice may expose fluid particles
to a rapid change in pressure. If the downstream pres-
sure is below the saturation value corresponding to the
temperature of the liquid, then the fluid flashes in a pro-
cess similar to that of a rapid depressurization, and there
may be similar departure from the thermal equilibrium.
As illustrated in Fig. 1, there are two kinds of time delay
in the thermal non-equilibrium process. The phase
change can only take place in finite speed time. Namely,
it takes time for bubble to nucleate and grow. The super-
heat is required to nucleate the bubble. The pressure
undershoot supplies the superheat for bubble genera-
tion. Relaxation time for nucleation, snucl, indicates the
required time to reach the satisfactory pressure under-
shoot. In the nozzle where there is the rapid pressure
drop, relaxation time for nucleation is negligible. More
dominant relaxation time is for the bubble growth. As
indicated in Fig. 1, the thermal equilibrium can be estab-
lished with sgrowth. In this research, it is assumed that the
thermal equilibrium is valid when the bubble departs
from the wall. The bubble growth from the wall is gov-
erned by the conduction between the vapor and super
heated liquid. Therefore, sgrowth means the conduction
time to bubble depart.

In writing the momentum equation of the separated
flow, several assumptions are made in advance, namely:
(i) The surface tension, Reynolds stress, and virtual mass
effects are assumed to be small enough to be neglected,
and (ii) The pressure of each phase is assumed to be
equal. The momentum equations for the liquid and gas
phase are as follows:
P

T

Liquid

Vapor

τnucl

τgrowth

Quality

Fig. 1. Thermal non
Liquid phase

� o

oz
½P ð1� aÞAx�s�Dz� P i

o½aAx�s�
oz

Dzþ Pw

oAx�s

oz
Dz

� gqfð1� aÞAx�sDz sin h� swpeDzþ sipiDz

¼ o

ot
½qfð1� aÞAx�sV fDz� þ

o

oz
½qfð1� aÞAx�sV 2

f �Dz

þ Ax�sCV iDz ð1Þ

Gas phase

� o

oz
½PaAx�s�Dz� P i

o½aAx�s�
oz

Dzþ Pw
oAx�s

oz
Dz

� gqgaAx�sDz sin hþ sipiDz

¼ o

ot
½qgaAx�sV gDz� þ

o

oz
½qgaAx�sV 2

g�Dz� Ax�sCV iDz

ð2Þ

where s is the shear stress. The subscripts �w� and �i� de-
note the wall and interface.

For steady state flow, additional assumptions are
considered such that (i) The radial pressure gradient is
assumed to be zero and (ii) the interfacial pressure, Pi,
and wall pressure, Pw, are equal to the static pressure,
P. Accounting for the above assumptions, Eqs. (1) and
(2) are reduced respectively to

�ð1�aÞoP
oz

�swpe
Ax�s

þ siP
Ax�s

¼ 1

Ax�s

o

oz
½qfð1�aÞAx�sV 2

f � ð3Þ

�a
oP
oz

� siP
Ax�s

¼ 1

Ax�s

o

oz
½qgaAx�sV 2

g� ð4Þ

Hence, by combining Eqs. (3) and (4), the mixture
momentum equation is obtained as follows:

� oP
oz

� swpe
Ax�s

¼ 1

Ax�s

o

oz
½qfð1� aÞAx�sV 2

f þ qgaAx�sV 2
g�

ð5Þ
Time
Relaxation

x

xeq

-equilibrium.
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In the choking condition, the effect of the wall fric-
tion on the pressure drop is negligible compared to that
attributed to the convective term. Hence, the pressure
drop due to the wall friction is neglected in developing
the choking model. Therefore, after rearranging the con-
vective term, the final momentum equation for the chok-
ing condition in a separated two-phase flow is given by

� oP
oz

¼ 1

Ax�s

o

oz
½ _mfV f þ _mgV g�

¼ G
o

oz
½ð1� xÞV f þ xV g�

¼ G
o

oz
f½ð1� xÞ þ xS�V fg ð6Þ

where _m, G and S denote mass flow rate, mass flux and
slip ratio, respectively. The mass flux in Eq. (6) is defined
by

G ¼ ½aqgV g þ ð1� aÞqfV f � ¼ ½aqgS þ ð1� aÞqf �V f ð7Þ

In the adiabatic condition, the flow quality is not
changed even though the void fraction varies due to
geometry changes. Therefore, it is more convenient to
replace the void fraction with the flow quality. The rela-
tionship can be obtained from the continuity equation as

a ¼ x
qf

qg

Sð1� xÞ þ x
qf

qg

" #,
ð8Þ

The liquid velocity can be expressed by combining
Eqs. (7) and (8) as

V f ¼ G
Sqf

Sð1� xÞ þ x qf
qg

" #,
ð9Þ

The modified momentum equation is obtained after
inserting Eq. (9) into Eq. (6) as

� dP
dz

¼ G
o

oz
ðxS þ 1� xÞ �

G Sð1� xÞ þ x qf
qg

h i
Sqf

8<
:

9=
;

¼ _m2

Ax�s

o

oz
1

Ax�s
ðxS þ 1� xÞ �

Sð1� xÞ þ x qf
qg

Sqf

" #
ð10Þ

The term inside the bracket of the second equation in
Eq. (10) is a function of area, flow quality, gas density,
liquid density and slip ratio, i.e.,

F ¼ F ðAx�s; x; qf ; qg; SÞ ð11Þ

In general, the flow quality, liquid density and gas
density are functions of pressure and entropy. The slip
ratio is a function of the quality and pressure. Therefore,
differentiation of the term inside bracket with respect to
z is expanded by the chain rule as
oF
oz

¼ oF
oS

oS
oz

þ oF
ox

ox
oz

þ oF
oqf

oqf

oz
þ oF
oqg

oqg

oz
þ oF
oAx�s

oAx�s

oz

¼ oF
oS

oS
oP

oP
oz

þ oS
ox

ox
oz

� �
þ oF

ox
ox
oP

oP
oz

þ ox
os

os
oz

� �

þ oF
oqf

oqf

oP
oP
oz

þ oqf

os
os
oz

� �
þ oF
oqg

oqg

oP
oP
oz

þ
oqg

os
os
oz

� �

þ oF
oAx�s

oAx�s

oz

¼ oF
oS

oS
oP

oP
oz

þ oS
ox

ox
oP

oP
oz

þ ox
os

os
oz

� �� �

þ oF
ox

ox
oP

oP
oz

þ ox
os

os
oz

� �
þ oF
oqf

oqf

oP
oP
oz

þ oqf

os
os
oz

� �

þ oF
oqg

oqg

oP
oP
oz

þ
oqg

os
os
oz

� �
þ oF
oAx�s

oAx�s

oz
ð12Þ

In this research, the flow is assumed to be isentropic,
which implies that the entropy does not change along
the flow direction. Based on this assumption, the Eq.
(12) is expressed as

oF
oz

¼ oF
oS

oS
oP

oP
oz

þ oS
ox

ox
oz

� �
þ oF

ox
ox
oz

þ oF
oqf

oqf

oP
oP
oz

� �

þ oF
oqg

oqg

oP
oP
oz

� �
þ oF
oAx�s

oAx�s

oz
ð13Þ

Therefore, rewriting Eq. (13) in terms of pressure
drop and comparing it with Eq. (10), the momentum
equation is transformed into the following equation:

� dP
dz

¼ _m2

Ax�s

 
oF
oS

oS
oP

oP
oz

þ oF
oS

oS
ox

ox
oz

þ oF
ox

ox
oz

þ oF
oqf

oqf

oP
oP
oz

þ oF
oqg

oqg

oP
oP
oz

þ oF
oAx�s

oAx�s

oz

!
ð14Þ

The second and third terms do not seem to affect the
choking flow rate because it is not coupled with the pres-
sure drop. However, it actually contributes to the chok-
ing flow rate when there is phase change. Terms inside
the parenthesis of the right hand side of Eq. (14), oF/
oS, oF/ox, oF/oqf, oF/oqg, and oF/oAx�s, can be
obtained from Eq. (10) by partial differentiation.

oF
oS

¼ 1

Ax�sS
2qf

�x2S2�SþSxþqf

qg

xðx�1Þ
( )

¼ U1

Ax�s

ð15Þ
oF
ox

¼ 1

Ax�sSqf

ð1�2xÞ S2�Sþqf

qg

 !
�S 1�2x

qf

qg

 !( )

¼ U2

Ax�s
ð16Þ

oF
oqf

¼�ðxSþ1� xÞð1� xÞ
Ax�sq2

f

¼ U3

Ax�s
ð17Þ

oF
oqg

¼�ðxSþ1� xÞx
Ax�sSq2

g

¼ U4

Ax�s
ð18Þ

oF
oAx�s

¼� 1

Ax�s
ðxSþ1� xÞ

Sð1� xÞþ x qf
qg

Sqf

¼ U5

Ax�s
ð19Þ
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In Eq. (14), all variables, except oS/oP, oS/ox and
ox/oz, are known. Therefore, the choking relation can
be obtained from the momentum equation if the consti-
tutive relations for oS/oP, oS/ox and ox/oz are estab-
lished. Indeed, these parameters are the keys in solving
the critical flow of the two-phase flow because they
reflect the degree of the mechanical and thermal non-
equilibrium. While oS/oP is related to the mechanical
non-equilibrium and ox/oz is related to the thermal
non-equilibrium, respectively, oS/ox is the parameter
that account for both mechanical and the thermal
non-equilibrium.

In the present analysis, the drift flux model is intro-
duced to provide constitutive relations for oS/oP and
oS/ox such that the slip ratio is written as

S ¼ Co þ
xðCo � 1Þqf

qgð1� xÞ þ qfhhV gjii
Gð1� xÞ ð20Þ

The distribution parameter, Co, indicates the effect
of the radial void fraction and volumetric flux distribu-
tion. The drift velocity, hhVgjii is a measure of the local
slip. The distribution parameter and drift velocity are
depending on the flow regime and flow component.

The remarkable difference between the two-phase
one-component flow and two-phase two-component
flow is that there is a phase change in the former. There-
fore, the considerations for the phase change are
required to analyze two-phase one-component flow. In
Eq. (14), several terms are related to the quality change,
namely, phase change.

The parameter ox/oz is related to the phase change.
Here, it is required to define the quality change to calcu-
late ox/oz analytically. In this research, the quality
change is defined as

Dx ¼ Dxeq 1� e
�schar

sdep

� �
ð21Þ

where schar and sdep are the characteristic time and the
bubble departure time for bubble growth to depart.
Here, xeq indicates the equilibrium quality that is defined
as

xe ¼ ðhin � hfÞ=hfg ð22Þ

The term in the bracket of Eq. (21) is the degree of
the thermal non-equilibrium based on the relaxation of
the flashing. If sdep is zero, the quality is the same
as the equilibrium quality. This is the case for thermal
equilibrium. If the bubble departure time, sdep, is infi-
nite, then the actual quality is zero. This means that
there is no flashing. The characteristic time is the func-
tion of the geometry and flow. The characteristic time
is defined as

schar ¼ L=V f ð23Þ

where L is the length of test section. Therefore, as L gets
longer, there is less thermal non-equilibrium in the fixed
bubble departure time. This means that the nozzle geom-
etry has more chance to be thermal equilibrium than the
orifice. If the characteristic time is much longer than the
bubble departure time (schar � sdep), it reaches the ther-
mal equilibrium. The vise verse case means the complete
thermal non-equilibrium. As mentioned before, sdep is
the bubble departure time from the wall. The bubble
which is generated at the wall requires some time to de-
part the wall. In this processing, the energy is transferred
by the conduction between the superheated liquid and
vapor. When the bubble size reaches to the bubble depar-
ture size, the bubble may depart. To estimate the bubble
departure time, the frequency of bubble departures
which was developed by Zuber [31] is adopted here, thus

Ddfd ¼ 1:18
rgðqf � qgÞ

q2
f

� �1=4
ð24Þ

where Dd and fd denotes a bubble departure diameter
and bubble generation frequency. In Eq. (24), the in-
verse of frequency represents the bubble departure time.
The frequency of bubble departure is composed of de-
layed time, sd, and break-off time, sb, as

fd ¼
1

sdep
¼ 1

sb þ sd
ð25Þ

After the departure of a bubble, liquid at the bulk
fluid temperature comes in contact with the solid and
gets heated. A brief period of time then elapsed, during
which transient conduction into the liquid occurs but no
bubble growth takes place. This time is the delayed time.
This time depends on the condition vicinity of the nucle-
ating cavity, i.e. on the local heating rate, thermal fluc-
tuations in the liquid, and the radius of the cavity [31].
The break-off time means the bubble growth time until
it departs from the wall. Actually, this break-off time
is same with the conduction time which is explained.
The duration of the break-off time depends on the local
superheat temperature difference and on the local hydro-
dynamic condition. Actually the bubble departure is
governed by the dynamics of the surrounding liquid as
well as by the buoyant and adhesion force. The bubble
departure diameter is determined by Kocamustafaogul-
lari�s model [32] given by

Dd ¼ 2:64� 10�5h
r

gDq

� �0:5 Dq
qg

 !0:9

ð26Þ

where h and Dq are contact angle and density difference
between liquid and vapor, respectively. The contact an-
gle is assumed as 38� which was calculated by Xu et al.
[33]. Therefore, the bubble departure time is expressed as

sdep ¼
1

fd
¼

2:64� 10�5h r
gDq

� �0:5
Dq
qg

� �0:9
1:18 rgDq

q2
f

h i1=4 ð27Þ
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The next procedure is to calculate the ox/oz based on
the defined quality.

dx
dz

¼ d

dz
xe 1� e

�schar
sdep

� �� �
¼ 1� e

�schar
sdep

� � dxe
dz

ð28Þ

In Eq. (28), dx/dz is expressed with dxe/dz. Therefore,
more detailed consideration is required in the analysis of
dxe/dz. In general, the flashing is related to the pressure
and pressure drop. And the equilibrium quality follows
the thermodynamic path line. Hence, dxe/dz is given by

dxe
dz

¼ dxe
dP

dP
dz

ð29Þ

From Eq. (22), oxe/oz is transformed as

dxe
dz

¼ � d

dP
hi � hf
hfg

� �
dP
dz

¼ � 1

hfg

dhf
dP

� hi � hf
h2fg

dhfg
dP

 !
dP
dz

ð30Þ

From the definition of enthalpy, the enthalpy differ-
ence for each phase is described as

Liquid

dhf ¼ cp dT þ ð1� bÞdP
q

ð31Þ

Vapor

dhg ¼ cp dT ð32Þ

Here, b is the volumetric thermal expansion coefficient,
and defined as

b � � 1

q
oq
oT

����
P

ð33Þ

By inserting Eqs. (31) and (32) into Eq. (30), the qual-
ity change is given by

dxe
dz

¼ � 1

hfg
cpf

dT
dP

þ 1� bT
qf

� �
þ hi � hf

h2fg

"

� cpg
dT
dP

� cpf
dT
dP

� 1� bT
qf

� �#
dP
dz

ð34Þ

The Clapeyron equation explains the relationship
between the pressure and the temperature on the satura-
tion condition as following

dP
dT

� �
sat

¼
qghfg
T

ð35Þ

By using the Clapeyron equation, the final equation
for the phase change is obtained as

dxe
dz

¼ � 1

hfg

cpfT
hfgqg

þ 1� bT
qf

 !
þ hi � hf

h2fg

"

�
cpgT

hfgqg

� cpfT
hfgqg

� 1� bT
qf

 !#
dP
dz

ð36Þ
By inserting Eq. (36) into Eq. (28), the finalized ox/oz
is obtained.

dx
dz

¼� 1

hfg

cpfT
hfgqg

þ 1� bT
qf

 !
þ hi � hf

h2fg

"

�
cpgT

hfgqg

� cpf T
hfgqg

� 1� bT
qf

 !#
1� e

�schar
sdep

� �dP
dz

¼ n1
dP
dz

ð37Þ

Eq. (37) shows that the dx/dz is related to the choking
flow rate because it is coupled with the pressure drop.
Based on Eqs. (37) and (14) needs to be modified by con-
sidering the phase change. For the first term in the paren-
thesis of Eq. (14), the derivative with respect to the
quality needs to be considered. Therefore, this term needs
to be modified for the two-phase one-component flow as

oF
oS

oS
oP

oP
oz

¼ oF
oS

oS
oCo

oCo

oP
þ oS

ox
ox
oP

þ oS
oqf

oqf

oP
þ oS
oqg

oqg

oP

 !
oP
oz

¼ oF
oS

oS
oCo

oCo

oP
þ oS
oqf

oqf

oP
þ oS
oqg

oqg

oP

 !
oP
oz

þ oF
oS

oS
ox

ox
oz

ð38Þ
As noticed in Eq. (38), the same term with the second

term of parenthesis in Eq. (14) is generated. For this
term oS/ox is obtained from Eq. (20).

oS
ox

¼ ðCo � 1Þqf

qgð1� xÞ2
þ qfhhV gjii
Gð1� xÞ2

¼ P1 ð39Þ

Therefore, by using Eqs. (15), (37) and (39) the sec-
ond term in Eq. (38) is written as

oF
oS

oS
ox

ox
oz

¼ U1P1

Ax�s
n1

dP
oz

� �
ð40Þ

In two-phase one-component flow, the distribution
parameter, Co, is different from that of two-phase two-
component flow. The developed correlation by Ishii
[28] is given by

Co ¼ 1:2� 0:2

ffiffiffiffiffi
qg

qf

r� �
ð1� e�18aÞ for a 6 0:75 ð41Þ

Co ¼ 1þ ð1� aÞ aþ 1þ 75ð1� aÞffiffiffi
a

p
qg

qf

� �1=2( ),

for a > 0:75 ð42Þ
Therefore, as an example, for a 6 0.8oCo/oqg and

oCo/oqf are obtained as follows

oCo

oqg

¼ �0:1
1

qgqf

 !1=2

ð1� e�18aÞ ¼ W1 ð43Þ

oCo

oqf

¼ 0:1

qf

qg

qf

� �1=2

ð1� e�18aÞ ¼ W2 ð44Þ
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By inserting all adequate derivatives into Eq. (14), the
momentum equation which considers the phase change
is given by
� dP
dz

¼ _m2

Ax�s

U1ðX1W2 þ X2Þ
Ax�s

oqf

oP
oP
oz

þ U1ðX1W1 þ X3Þ
Ax�s

oqg

oP
oP
oz

þ 2U1P1

Ax�s
n1

oP
oZ

� �

þ U2

Ax�s
n1

oP
oZ

� �
þ U3

Ax�s

oqf

oP
oP
oz

þ U4

Ax�s

oqg

oP
oP
oz

þ U5

Ax�s

oAx�s

oz

2
6664

3
7775 ð45Þ
Based on the obtained parameters, the momentum
equation is rearranged as

� 1þG2
U1ðX1W2þX2Þ

oqf

oP
þU1ðX1W1þX3Þ

oqg

oP

þ2U1P1n1þU2n1þU3
oqf

oP
þU4

oqg

oP

0
BB@

1
CCA

2
664

3
775dPdz

¼G2 U5

oAx�s

oz

� �
ð46Þ
The choking condition occurs when the bracket on
the left hand side in Eq. (46) equals zero, i.e.,
G2 ¼ �1

ðU1X1W2 þ U1X2 þ U3Þ
oqf

oP
þ ðU1X1W1 þ U1X3 þ U4Þ

oqg

oP
þ ð2U1P1 þ U2Þn1

ð47Þ
According to Eq. (47), the choking flow rate is com-
posed of gas sonic velocity, liquid sonic velocity and
phase change factor. The mechanical non-equilibrium
factor is coupled with the gas and liquid sonic velocity.
However, the thermal non-equilibrium factor is just cou-
pled with slip ratio itself.

In the two-phase one-component flow, one of the
main characteristics is the flashing. In the test section,
the pressure drop caused by the acceleration is the dom-
inant factor to make the flashing (the frictional pressure
drop in the choking flow is negligible compared to the
accelerative pressure drop). The consideration for
the thermal non-equilibrium is important in case of the
flashing.

For the flow with subcooled inlet condition, there are
two types of choking flow, one is subcooled water chok-
ing and the other is two-phase choking. For example,
the water with small subcooled inlet condition in the
nozzle, the pressure drop is caused by the acceleration
and the pressure may reaches the saturation pressure
corresponding to the inlet water temperature. If the exit
pressure of the nozzle is less than the nucleation pressure
(pressure undershoot for nucleation), the nozzle exit
condition is two-phase flow even though there is thermal
non-equilibrium. In this condition, the choking flow
needs to be calculated based on the two-phase choking
condition with the relaxation model as was described
before. However, if the degree of subcooling is relatively
high, then the exit pressure of the nozzle will be still
higher than the saturation pressure corresponding to
the inlet water temperature. The flashing also happens
in this condition, however, the two-phase choking model
cannot be used for the highly subcooled water flow.
Therefore, the additional modeling is required to ana-
lyze the whole choking flow with subcooled inlet condi-
tion. Alamgir and Lienhard [34] developed the following
correlation for the rapid depressurization of subcooled
water on the basis of classical nucleation theory for pres-
sure undershoot

DP fl ¼ P s;T in
� P fl ¼ ½0:258r3=2T 13:76

r ð1þ 13:25R0:8Þ0:25�
	

ðksT cÞ0:5 1�
qg

qf

� �� �
ð48Þ

where DPfl is the pressure undershoot relative to the sat-
uration pressure at flashing, P s;T i

the saturation pressure
corresponding to the inlet water temperature, Pfl the
flashing pressure, r the surface tension, ks Boltzmann�s
constant, Tc the critical temperature, R the rate of
depressurization in Matm/s, Tr the reduced temperature,
or the ratio of initial water temperature to critical tem-
perature. To apply the correlation for the test of Reoc-
reux [19] and Zimmer et al. [20], Levy and Abdollahian
[18] modified the correlation:

DP fl ¼ ½0:258r3=2T 13:76
r ð0:49þ 13:25R0:8Þ0:25�

	

ðksT cÞ0:5 1�
qg

qf

� �� �
ð49Þ
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Amos and Schrock [35] proposed the simple modifi-
cation to Eq. (49), which attempts to extend the correla-
tion to lower rates of depressurization. The proposed
correlation with multiplier (varying from 0.1 to 0.9) con-
sidering the velocity is given by

DP fl ¼ J
0:258r3=2T 13:76

r ð0:49þ 13:25R0:8Þ0:25

ðksT cÞ0:5 1� qg
qf

� �
2
4

3
5 ð50Þ

Based on Eq. (50), it is possible to estimate the pres-
sure for flashing. In the TRACE code, the choking mass
flux for highly subcooled water is calculated using the
Bernoulli equation with the inlet pressure and nucleation
pressure. The velocity based on the Bernoulli equation is
given by

V Bernoulli ¼ V 2
exit þ

ðP exit � P flÞ
qexit

� �1=2
ð51Þ

where Pexit is the pressure at the exit, Pfl flashing pres-
sure, qexit liquid density at the exit and Vexit exit liquid
velocity. Therefore, the choking mass flux for highly
subcooled water is given by

Gc ¼ V Bernoulli � qexit ð52Þ

According to TRACE manual [36], it is suggested to
use the multiplier for calculated choking velocity based
on Eq. (50). In this research, it was found that Eq.
(50) overpredicted the Purdue data whereas it underpre-
dicted the test data as the degree of subcooling
decreased. Hence, Eq. (52) is modified as

Gc ¼ 1:6094V Bernoulli � qexit � ðT sat;exit � T inÞ�0:1918 ð53Þ

where Tsat,exit and Tin denote the saturation temperature
corresponding to the exit pressure and the inlet or initial
water temperature.

The choking mass flux is obtained by solving the
momentum equation in the test geometry (nozzle). In
the calculation of the pressure drop through the nozzle,
the choking model was automatically chosen based
on the calculated pressure and inlet temperature in each
node. If the exit pressure is higher than the saturation
pressure corresponding to the inlet temperature, the Ber-
noulli choking model is chosen to calculate the choking
mass flux. The two-phase relaxation model is used when
there exits two-phase flow at the upstream of the chok-
ing point due to the pressure drop.

In the previous section, the thermal non-equilibrium
quality change was defined as Eq. (21). This thermal
non-equilibrium quality change is defined based on the
mechanistic model. Therefore, it is modified to fit the
data by introducing the multiplier as

Dx ¼ Dxeq 1� e
�schar

sdep

� �
�0:2783

P o

P c

þ 0:2266

� �
ð54Þ

where Po is the inlet pressure and Pc critical pressure.
Po/Pc means the reduced pressure. Currently Eq. (54)
is verified up to the pressure of 8.54 MPa. Probable, it
may be required to modify the multiplier to apply for
higher pressure condition.
4. Results

The developed choking flow model, equation is com-
pared with the experimental data for the nozzle geome-
try [37]. The choking flow experiments were performed
using PUMA (Purdue University Multidimensional
integral test Assembly) facility of PURDUE University.
The PUMA test facility is a scaled integral model of the
General Electric Nuclear Energy, simplified Boiling
Water Reactor (SBWR) [38,39]. Experimental upstream
pressure conditions were 0.207 MPa, 0.345 MPa,
0.517 MPa, 0.689 MPa, and 1.034 MPa.

The reactor pressure vessel (RPV) and drywell were
used as the pressure boundary in this experiment. The
RPV was used as the upstream stagnation reservoir
and the drywell was used as the downstream receiver
with the horizontal test section connected between the
RPV and the drywell. The inner diameter of the test sec-
tion was 25.4 mm except at the choking section. The
throat size was 5.4 mm in both geometries.

Fig. 2 shows the model prediction which considered
the single phase subcooled water and relaxation of flash-
ing. The considered model predicts the experimental
data quite well.

According to the comparison of the predicted chok-
ing mass flux with the experimental data (Fig. 3(a)–(e)),
the model reasonably predicts the choking mass flux in
the broad range of subcooling. As can be seen in the
figures, there is a discontinuity region due to the differ-
ent model used depending on the flow condition. In
this unstable region, converged values are unreasonable
or there is no convergence. However, this problem can
be solved if the numerical calculation method is
improved. At the boundary between two models, the
Bernoulli model quite underpredicts the data because
the degree of subcooling is decreased, therefore, the
pressure difference between flashing pressure and exit
pressure is reduced. Hence, the predicted velocity is
decreased. In general, both models predict the experi-
mental data well except for the boundary which was
mentioned before. In Eq. (47), the choking mass flux
is composed of the liquid sonic velocity, gas sonic
velocity, and phase change related term. In the calcula-
tion of choking mass flux, the first and third term of
the denominator in Eq. (47) are positive, which means
that these terms are increasing the predicted choking
mass flux. At the low void fraction, absolute value of
the flashing related term is greater than that of the
gas sonic velocity term, hence, the denominator
becomes the positive. The Bernoulli choking model
naturally prevents this problem.
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The developed non-homogeneous non-equilibrium
model is assessed by comparing with other experimental
data. The developed model is compared with subcooled
water and steam water experimental data.

As the comparable experiment for the subcooled
water flow, Xu et al.�s [33] experimental data is chosen
to assess the developed model in the high pressure. They
performed the choking flow experiment with 3.0–
16.0 MPa pressure and 1–60 �C inlet liquid stagnation
subcooling. The test section geometry is the converg-
ing-diverging nozzle with 30 mm inlet diameter,
4.18 mm throat diameter, and 25.4 mm outlet diameter.
The half angle of the convergent section is 30�.

Among the experimental data, the data below
8.54 MPa stagnation pressure are chosen to compare
with the model prediction. According to Fig. 4, the
model predicts the choking mass flux with the error
range from �1.2% to 3.1%. This means the developed
model is applicable in both high and low pressure condi-
tions. According to the code calculation, a majority of
choking calculation is done by the two-phase choking
model because the exit pressure is lower than the pres-
sure corresponding to the inlet temperature due to the
acceleration in the nozzle for most cases.

One of the flow patterns of the two-phase one-com-
ponent flow is the steam-water flow. Therefore, to
ensure that the developed model would be applicable
for this condition, it is imperative that the separate effect
test with steam-water flow should be used as part of the
model assessment. The chosen separate effect test for
steam-water choking flow was that of Deich [40]. The
nozzle geometry was a relatively smooth converging-
diverging nozzle with 70 mm inlet diameter, 32.55 mm
throat diameter, and 40 mm outlet diameter. The
upstream pressure for the test was 0.122 MPa and the
inlet quality varied from 0.15 to 0.998.

Based on the same model and solving methodology
with the subcooled water flow, the choking mass flux
is obtained for the steam-water flow. This result is
shown in Fig. 5. The predicted choking mass flux is
much higher than that of the experiment in the relatively
low quality region. However, the void fraction in the low
quality region is already higher than 0.95, which means
that the flow regime is the annular flow. The slip ratio
based on the original Co is above than 20 and increases
as the quality increases. Due to the large discrepancy,
the sensitivity analysis is performed for the distribution
parameter, Co. For the sensitivity analysis, Eq. (42) is
modified as

Co ¼ 1þ k
1� a

aþ 1þ75ð1�aÞffiffi
a

p qg
qf

h i1=2
0
B@

1
CA ð55Þ

here, k is the control parameter for Co. Three different
values for k are tested (k = 0.9, 0.5, and 0.0). As Co de-
creases by reducing k value, it is noticed that the discrep-
ancy at the relatively low quality region gets smaller



0 5 10 15 20 25
0.0

0.2

0.4

0.6

0.8

1.0

1.2

1.4
C

rit
ic

al
 M

as
s 

F
lu

x 
(k

g/
m

2 s)
, G

cx
10

-4

∆T_sub (°C)

0.207MPa

 Experiment

 Model

Unstable

region

0 5 10 15 20 25
0.0

0.2

0.4

0.6

0.8

1.0

1.2

1.4

1.6

C
rit

ic
al

 M
as

s 
F

lu
x 

(k
g/

m
2 s)

, G
cx

10
-4

∆T_sub (°C)

0.345MPa

 Experiment

 Model

(a) 0.207 Mpa (b) 0.345 Mpa 

0 5 10 15 20 25 30 35
0.0

0.5

1.0

1.5

2.0

C
rit

ic
al

 M
as

s 
F

lu
x 

(k
g/

m
2 s)

, G
cx

10
-4

∆T_sub (°C)

0.517MPa

 Experiment

 Model

0 5 10 15 20 25 30
0.0

0.5

1.0

1.5

2.0

2.5

Unstable

region

C
rit

ic
al

 M
as

s 
F

lu
x 

(k
g/

m
2 s)

, G
cx

10
-4

∆T_sub (°C)

0.689MPa

 Experiment

 Model

(c) 0.517 Mpa

0 5 10 15 20 25 30 35
0.0

0.5

1.0

1.5

2.0

2.5

3.0

C
rit

ic
al

 M
as

s 
F

lu
x 

(k
g/

m
2 s)

, G
cx

10
-4

∆T_sub (°C)

1.034MPa

 Experiment

 Model

Unstable

region

(e) 1.034 MPa 

(d) 0.689 MPa 

Fig. 3. Comparison of predicted choking mass flux with Purdue data for several pressures.
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(Fig. 5). This is caused by the reduced slip ratio. Actu-
ally, the slip ratio with unity of Co, which indicates that
the flow is the homogeneous flow.
According to the results, the homogeneous flow pre-
dicts the experimental data quite well. However, in gen-
eral, it is thought that the slip ratio in the annular flow
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regime is large. Hence, it can be explained in view of the
flow regime. In the very high void fraction region, flow
regime may be the inverted annular flow. In the very
high void fraction region, the liquid film thickness is
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very thin, and the liquid can be entrained into the gas
core when the bubble which is generated at the wall is
detached from the wall. In this flow regime, the slip ratio
may be near the unit. Hence, the model prediction with
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Based on this analysis, Eq. (55) is modified to reflect
the flow regime change as
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Co ¼ 1þ 1� a

aþ 1þ75ð1�aÞffiffi
a

p qg
qf

h i1=2
0
B@

1
CA exp½�9:0ða� 0:75Þ�

ð56Þ

In general, the flow is classified as the annular flow
when the void fraction is higher than 0.75. Therefore,
the multiplier in Eq. (56) accelerates the decreasing rate
of Co as the void fraction increases to consider the
inverted annular flow. Fig. 6 shows the distribution
parameter, Co, for whole void fraction based on the used
correlation depending on the flow regime. By modifying
Co for the annular flow regime based on Eq. (56), the
decreasing rate of Co is accelerated. Fig. 7 shows the
model prediction with Deich�s data after implementing
Eq. (56).
5. Conclusions

The mechanistic model which considers the mechan-
ical and thermal non-equilibrium for the two-phase
choking flow is developed. In this research, the slip ratio
which was defined in the drift flux model was used to
identify the impact parameters on the slip ratio. Because
the slip ratio in the drift flux model is related to the dis-
tribution parameter and drift velocity, the adequate cor-
relations depending on the flow regime are introduced in
this study. In this mechanistic modeling approach, the
choking mass flow rate is expressed by the function of
pressure, quality and slip ratio. For the thermal non-
equilibrium, the relaxation model is introduced. This
relaxation is composed of the characteristic time which
is determined by the geometry and the flow condition
and the bubble departure time. In this research, it is
assumed that thermal equilibrium is established when
a bubble depart from the wall. Hence, the amount of
relaxation is controlled by the ratio of the characteristic
time to bubble departure time.

For the two-phase one component flow, the mechan-
ical and thermal non-equilibrium model (MTNEM) was
developed with bubble conduction time and Bernoulli
choking model. In case of highly subcooled water com-
pared to the inlet pressure, the Bernoulli choking model
using the pressure undershoot is used because there is
not bubble generation in the test section. When the
phase change happens inside the test section, two-phase
choking model with relaxation time calculates the chok-
ing mass flux. According to the comparison of model
prediction with experimental data shows good agree-
ment. The developed model shows good prediction in
both low and pressure ranges.

For the steam-water flow, the error between the
model prediction and the experimental data is caused
by the flow regime. In the high void fraction region,
the flow regime may be the inverted annular flow. The
slip ratio in the inverted flow regime is almost unit due
to the thin liquid film, entrained liquid drop and bubble
generation inside the liquid film. Therefore, the model
prediction by modifying the distribution parameter,
Co, is accurate in this flow regime.
References

[1] V.E. Schrock, C.A. Amos, Two-phase Flow and Heat
Transfer, China–US Seminar on Two-Phase Flows and
Heat Transfer, Sian, China, 1984, pp. 115–138.

[2] Sauvage, Ecoulement de L�eau des Chaudieres, Annal.
Mines 9, vol. II (1892).

[3] A. Rateau, Experimental Researches on the Flow of Steam
through Nozzles and Orifice, to which is added a Note on
the Flow of Hot Water, A. Constable and Co., Ltd,
London, 1905.

[4] E.S. Starkman, V.E. Schrock, K.F. Neusen, D.J. Maneely,
Expansion of a very low quality two-phase fluid through a
convergent–divergent nozzle, J. Basic Engng, Trans.
ASME, Ser. D 86 (2) (1964) 247–256;
W. Wulff et al., Quantifying Reactor Safety Margins, Part
3: Assessment and Ranging of Parameters, Nucl. Engng.
Des. 119 (1990) 33–65.

[5] G.B. Wallis, Critical two-phase flow, Int. J. Multiphase
Flow 6 (1980) 97–112.

[6] D. Abdollahian, J. Healzer, E. Janssen, C. Amos, Critical
Flow Data Review and Analysis, Final Report, S. Levy,
Inc. EPRI Report NP-2192, 1982.

[7] V.M. Fthenakis, U.S. Rohatgi, B.D. Chung, A simple
model for predicting the release of a liquid-vapor mixture
from a large break in a pressurized container, J Loss
Prevent. Process Ind. 16 (2003) 61–72.

[8] R. Darby, Perspectives on Relief Valves Sizing for Two-
phase Flow, International Symposium on Runaway Reac-
tions, Pressure Relief Design, and Effluent Handling, Mach
11–13, New Orleans, Louisiana, 1998, pp. 365–397.

[9] M. Epstein, R.E. Henry, W. Midvidy, R. Pauls, One-
dimensional Modeling of Two-phase Jet Expansion and
Impingement, Thermal-Hydraulics of Nuclear Reactors II,
2nd Int. Topical Meeting on Nuclear Reactor Thermal-
Hydraulics, Santa Barbara, CA, 1983.

[10] J.C. Leung, A generalized correlation for one-component
homogeneous equilibrium flashing choked flow, AIChE J.
32 (1986) 1743–1746.

[11] J.C. Leung, M. Epstein, A generalized correlation for two-
phase nonflashing homogeneous choked flow, J. Heat
Transfer 112 (1990) 528–530.

[12] P. Saha, A Review of Two-Phase Steam-Water Critical
Flow Models with Emphasis on Thermal Non-equilibrium,
BNL-NUREG-50907, 1978.

[13] A group of expert of the NEA Committee on the Safety of
Nuclear Installations, Critical Flow Modeling in Nuclear
Safety, Nuclear Energy Agency, June 1982.

[14] S. Khajehnajafi, A. Shinde, Prediction of discharge rate
from pressurized vessel blowdown through sheared pipe,
Process Safety Progr. 14 (1) (1995) 22–25.



186 H.J. Yoon et al. / International Journal of Heat and Mass Transfer 49 (2006) 171–186
[15] V.E. Schrock, E.S. Starkman, R.A. Brown, Flashing flow
of initially subcooled water in convergent–divergent noz-
zle, Trans. ASME, J. Heat Transfer 99 (1977) 263–268.

[16] H.K. Fauske, Flashing flows or: some practical guideline
for emergency releases, Plant/Operat. Progr. 4 (3) (1985)
132–134.

[17] R.E. Henry, H.K. Fauske, The two-phase critical flow of
one composition mixtures in nozzle, orifices, and short
tubes, J. Heat Transfer 93 (1971) 179–187.

[18] S. Levy, D. Abdollahian, Homogeneous non-equilibrium
critical flow model, Int. J. Heat Mass Transfer 25 (6) (1982)
759–770.

[19] M. Reocreux, Contribution à létude des debits critiques en
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